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ABSTRACT 
 
 The Office of Nuclear Regulatory Research (RES) of the U.S. Nuclear Regulatory Commission (NRC) has applied 
probabilistic methods to failure assessments of a dry cask storage system.  Analyses were performed to examine the 
behavior of a fully loaded cask subjected to loads from accidental drops or inhibited normal cooling.  This study 
focuses on a specific cask system (Holtec International HI-STORM 100) storing boiling-water reactor (BWR) spent 
fuel.  The analyses described below are part of a probabilistic risk assessment (PRA) performed by the NRC for dry 
cask storage.  The objectives of this paper are to describe the analyses used to (1) calculate the probability of cask 
failure and (2) estimate the fraction of fuel failure for various initiating events.  No results will be presented in this 
paper because the analyses are still ongoing. 
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INTRODUCTION 
 

The cask system analyzed is the 
Holtec International HI-STORM 100.  
This on-site cask storage system consists 
of three major components (1) a 
multipurpose canister (MPC) that confines 
the fuel, (2) a transfer overpack, and (3) a 
storage overpack.  The transfer overpack 
containing the MPC is known as the 
transfer cask and the storage overpack 
containing the MPC is known as the 
storage cask.  The MPC confines spent 
fuel assemblies for the duration of the 
storage period, typically 20 years.  The 
MPC is loaded with fuel while submerged 
in the spent fuel pool.  When the MPC is 
removed from the spent fuel pool and 
prepared for storage, it is placed inside the 
transfer overpack to shield workers from 
radiation.  During storage on site, the 
storage overpack shields people from 
radiation, cools the MPC by convection 
though vents, and mechanically protects 
the MPC during storage.   

Details of the cask system are 
illustrated in Figures 1 and 2[1].  Figure 1 
is a composite sketch of the MPC and the 
transfer overpack.  Figure 2 is a composite 
sketch of the storage overpack with the 
MPC partially inserted.   Figure 1 Sketch of transfer overpack and MPC. 

In the HI-STORM dry storage cask 
system, the MPC shell acts as the 
confinement boundary.  The MPC is 4.8 m 
(15.9 ft) high and 1.3 m (5.7 ft) in diameter.  The MPC is made entirely of austenitic stainless steel.  The cylindrical 
shell is constructed from one circumferential and four axial seam welds of 1.27 cm (0.5 in.) thick plates.  The 2 axial 
welds on each side of the MPC are slightly offset at the circumferential weld.  This cylindrical shell is then welded to a 
6.35 cm (2.5 in) thick baseplate.  These are full penetration submerged arc (SA) welds which undergo dye penetrant 
(PT) and radiographic (RT) examinations.  They are not post weld heat treated to remove residual stresses.  After the 
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Figure 2 Sketch of storage overpack and MPC. 

cask is loaded with fuel, the MPC lid is welded to the shell.  This 1.9 cm (0.75 in) thick weld undergoes PT 
examinations after the 
root, intermediate (0.375 
in or 0.95 cm) and final 
weld passes.  These lid 
welds are performed using 
an automated tungsten-

The MPC lid-to-shell 
weld, seam welds, and 
shell to baseplate weld are 
then subjected to a 

.86 
MPa (125 psi).  The vent 
and drain ports used for 
hydrostatic testing, drying 
and inerting are welded 
closed with cover plates.  
These welds undergo a 
final PT examination only.  
The MPC lid-to-shell weld 
and the vent and drain 
cover plate welds form the 
primary seal to the MPC 
lid.  A closure ring is 
then placed on the MPC 
lid and welded to the 
shell and lid to form a redundant cask seal.  These vent and drain cover plate welds and the ring welds are also 
performed using the TIG process.  This design ensures the cask environment is separated from the outside atmosphere 
by two independent lid welds.  

inert-gas (TIG) process.  

hydrostatic test of 0

When fully loaded with BWR fuel assemblies, the MPC weighs 36 metric tons (40 tons).  The transfer overpack is 
5.0 m (16.4 ft) high and 2.3 m (7.6 ft) in diameter.  When loaded with BWR fuel assemblies, the transfer overpack 
weights 91 metric tons (100 tons).  The fuel basket is free standing, but held in position inside the MPC by basket 
supports.  Boral plates along the walls of each cell prevent the spent fuel from becoming critical.  Upper and lower fuel 
spacers keep the fuel assemblies vertically positioned in the basket.  Except for the boral plates and the heat conduction 
elements, all components of the MPC are made of stainless steel.  The transfer overpack consists of an inner steel shell, 
lead shield, and outer steel shell.  A water jacket provides additional shielding.  The pool lid at the bottom of the 
transfer overpack seals the inner cavity, thereby retaining clean demineralized water that prevents the exterior of the 
MPC from being contaminated.  A lift yoke (not shown) attaches to lift trunnions on the transfer overpack.  

The storage overpack consists of inner and outer steel shells connected by full-length steel radial plates that extend 
from the bottom to the top.  The volume between the shells is filled with unreinforced concrete.  The shells and the 
radial plates form the structural member.  The concrete is for radiation shielding.  The lid is bolted to the overpack at 
the anchor blocks that are attached to the radial plates.  Channels between the overpack and the MPC allow air to 
circulate, entering the inlet vent at the bottom of the overpack and exiting the outlet vent at the top of the overpack.  The 
channels are designed to progressively collapse during a severe impact, absorbing some of the impact that could be 
transmitted to the MPC.  Shield cross-plates reduce radiation streaming through the vents.  Screen covers prevent 
insects, birds, and animals from entering the vents to build nests that might block the vents.  

 
SCOPE OF ANALYSES 
 

Both the MPC and fuel rods must fail for radioactive spent fuel to be released to the environment.  The objectives 
of these analyses are to determine the response of the MPC and fuel to a variety of accident conditions.  In all of the 
circumstances discussed in this paper the transfer cask and storage cask are assumed to drop in the vertical orientation.  
At the specific site that was studied, neither cask is moved or placed in the horizontal orientation.  The impact accident 
scenarios discussed in this paper include:  

• A handling accident in which the transfer cask is being lowered from a height of up to 24.4 m (80 ft) and falls 
on the storage overpack 

• A handling accident in which the transfer cask is dropped on a concrete floor from various heights 
• A handling accident in which the MPC falls from a height of 6.1 m (20 ft) when being moved from the transfer 

overpack  to the storage overpack  
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• A transfer accident in which the storage cask is dropped from a height of 0.30 m (1 ft) on concrete, gravel and 
asphalt. 

 
Structural analyses will be performed to determine the stresses from these events.  The thermal accident scenarios 
discussed in this paper include: 

• A storage accident in which the storage cask’s cooling vents become blocked preventing air from circulating 
and cooling the MPC 

• A storage accident in which the storage cask is completely engulfed in a 1000°C (1832°F) fire  
 
Under thermal loads the only significant MPC stresses are due to internal pressure.  Stresses were calculated using the 
classical shell theory equations for pressurized cylinders 
 
MPC RESPONSE 
 
 Since the MPC is the confinement boundary for the HI-STORM cask system, the purpose of the cask failure 
analysis is to determine the probability of MPC failure given an initiating event.  The failure mechanisms postulated for 
the MPC are fracture, exceeding limit load, and creep rupture.  All three failure mechanisms are considered for thermal 
events, while only fracture and limit load are postulated for mechanical impacts.  The probability of MPC failure is the 
sum of the failure probabilities from each failure mechanism.  
 Failure models were created in Microsoft® Excel with an add-on module called @RISK.®   This module allows 
Monte Carlo simulations to be run in Excel by allowing values in the spreadsheet cells to be sampled from statistical 
distributions.  The user specifies which cells are considered outputs, and the number of iterations to perform.  For each 
iteration, the program samples values from all cells in which a statistical distribution is specified, recalculates the entire 
spreadsheet, and records the values in the specified output cells.  The distribution of output values can then be plotted 
and analyzed.  The spreadsheet cell specified as output identifies each iteration as either an MPC success or failure.  
This process is repeated many times in a Monte-Carlo simulation.  The probability of failure was calculated by dividing 
the total number of MPC failures by the total number of iterations performed.  Input cells for the spreadsheets defined 
the material properties, flaw parameters, and MPC stresses.  Statistical distributions are used to define the fracture 
toughness, yield strength, tensile strength, and creep rupture strength for austenitic stainless steel materials at various 
temperatures.  These distributions are based on material property data found in the open literature.  It is assumed that 
the welding processes used in the construction of the MPC introduce crack-like flaws in the MPC welds.  The sizes of 
these flaws are taken from statistical distributions based upon results of the PRODIGAL computer code.  The only 
inputs not sampled from statistical distributions are the applied stresses on the MPC.  Figure 3 shows the statistically 
sampled material property and flaw distribution inputs that will be used in these analyses.   

The following material property distributions were assumed in the analyses: 
• Fracture Toughness:  Between 20°C (68°F) and 125°C (257°F) it is assumed that JIC is defined as a lognormal 

distribution with a mean of 150 kJ/m2 (857in-lb/in2) and a standard deviation of 45 kJ/m2 (254in-lb/in2 ).   
Above 400°C (752°F), the mean of the distribution drops to 128 kJ/m2 (728in-lb/in2).   At temperatures 
between 125°C (257°F) and 400 °C (752 °F), it is assumed that the mean toughness value decreased linearly.  
The standard deviation is assumed to remain constant at all temperatures.[2,3,4,5,6,7,8,9,10,11] 

• Tensile Properties:  Yield and tensile strength data for austenitic stainless steel were obtained from data in the 
open literature.  Since these properties decrease with increasing temperature, elevated tensile properties can be 
expressed as a fraction of their value at room temperature.  Therefore, the mean yield and tensile strength at 
elevated temperatures were taken as a fraction of the best estimate yield and tensile strength at room 
temperature.  A normal distribution was assumed with standard deviations of 44 MPa (6.4 ksi) for yield 
strength and 30 MPa (4.3 ksi) for tensile strength.[12,13] 

• Creep rupture strength:  Creep rupture strengths of Type 304 stainless steel were compiled from data in the 
open literature.  The time and temperature conditions for this database are converted to Larson-Miller (LM) 
parameters. At any given stress, the database shows variability in the LM parameter (i.e., time-temperature 
conditions) required to cause creep rupture.  An assumed statistical distribution is used to describe the 
variability in the LM parameter for a given stress. [14,15,16,17] 

 
 The PRODIGAL computer code  [18,19,20,21,22,23] is used to obtain MPC weld flaw distributions for the failure 
analyses.  PRODIGAL is an expert system model that predicts the number, size, and location of flaws in nuclear grade 
welding.  An additional aspect of the model is the simulation of the radiography and dye penetrant inspections 
performed to detect flaws.  The focus of PRODIGAL is on crack-like flaws that have the potential to impact structural 
integrity.  Specific limitations of the model are that it excludes structurally benign flaws such as pores and rounded slag.  
The model does not address certain inspections such as ultrasonic examinations (UT) and leak testing.  PRODIGAL 
was also designed to predict the expected defect distributions in an average weld and does not include a consideration 
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of uncertainties or the expected weld-to-weld variations.  The results of the PRODIGAL analyses are used to determine 
the probability that a given weld contains a flaw, the location of the flaw, and the flaw size. 

Surface Flaws
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Figure 3 Inputs sampled from statistical distributions in probabilistic analyses.  Yield strength, tensile 
strength, fracture toughness, creep rupture strength, and flaw size.   
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Failure Mechanisms 
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Figure 4 Failure Assessment Diagram (FAD) for austenitic 
stainless steel. 

A probabilistic fracture mechanics (PFM) 
analysis was performed based on the failure 
assessment diagram approach. [24]   Adherence to 
these protocols has repeatedly been demonstrated 
to provide conservative assessments of the fracture 
integrity of operating structures.  To perform a 
FAD analysis, two values are calculated for the 
situation of interest, Kr and Sr.  Kr is the ratio of 
the fracture driving force to the fracture resistance, 
while Sr is the ratio of the applied stress to the 
yield stress.  Once Kr and Sr are calculated for the 
situation of interest, the (Sr, Kr) point is plotted on 
the failure analysis diagram for austenitic stainless 
steel shown in Figure 4.  The location of the (Sr, 
Kr) point on the diagram determines if failure is 
predicted.  The results of the PRODIGAL analyses 
suggest that the majority of flaws expected in the 
MPC shell welds are embedded.  Therefore, in the 
Monte-Carlo fracture analyses, the majority of the 
flaws are modeled as a finite length embedded 
cracks in a plate.  The remaining flaws are located 
on the inner our outer surface of the weld and are modeled as a finite surface crack in a plate.   

Failure

Another failure mechanism considered for the MPC was exceeding limit load.   Failure occurs if the applied 
stresses in the MPC exceed the flow stress of the material.   The flow stress is determined from the yield and tensile 
strengths of the MPC.  For pure membrane stresses, the critical flow stress for failure is defined as the average of the 
yield and tensile strength.  This critical stress is defined in Equation 1.  In situations where both membrane and bending 
stresses are involved the critical flow stress is 150% of the membrane stress limit.  The critical flow stress for 
membrane and bending is defined in Equation 2.  At a given temperature, the yield and ultimate tensile strengths of the 
material were sampled so the critical flow stress values could be determined.  If the total membrane stresses of the MPC 
were greater than the membrane flow stress, failure was predicted.  Similarly, if the total bending and membrane stress 
of the MPC exceeded the membrane plus bending flow stress, failure was also predicted.   If either of these limits were 
exceeded, the entire MPC was considered failed.   
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The methodology used to predict creep rupture of the MPC is based on the model developed by Argonne National 
Laboratory for creep rupture of steam generator tubes.[25]  In this model, the structure accumulates a fraction of creep 
damage after exposure to any specific time/temperature/stress condition.  If the sum of these creep damage fractions 
exceeds one, failure is predicted.   This failure mechanism is applicable to both flawed and unflawed structures.  If 
cracks are present, then the failure criteria are modified by multiplying the stress in an unflawed structure by an 
appropriate magnification factor.   

The probability of creep rupture failure as a function of temperature was determined as follows.  The MPC stresses 
at any time-temperature condition are calculated.  For this stress, the Larson Miller parameter required to cause creep 
rupture is sampled from a distribution.  Given this temperature and Larson Miller parameter, the time required to cause 
creep rupture failure can be determined.  The incremental creep damage is calculated by dividing the actual time spent 
in these conditions by the time needed to cause creep rupture.  This procedure is repeated for the next time-temperature-
stress condition.  If at the temperature of interest, the summation of creep damage fractions is greater than one, MPC 
failure is predicted.  Monte Carlo simulations were performed on MPC’s to determine the probability of creep rupture 
failure. 
 
FUEL RESPONSE 
 
 The methodology used to determine the failure of spent fuel rods from mechanical impact events is taken from 
Chun, Witte, and Schwartz.[26]   The objective of this fuel failure analysis is different from the cask failure analysis 
described above.  Instead of determining the probability of failure, the fuel failure analysis calculates the percentage of 
fuel within the cask expected to fail given an initiating event.  For drop accidents when the transfer cask is in the 
vertical position, the spent fuel rods in the assemblies are analyzed as long slender columns with intermediate supports 
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provided by the spacer grids of the fuel assemblies.  Since the section of a spent fuel rod between the bottom two spacer 
grids supports the weight of the entire rod, only this segment of the rod is analyzed.  If the applied load from a drop 
accident exceeds the spent fuel rod’s critical buckling load, failure of the rod occurs.  The critical bucking load (Pcr) is 
given by Equation 3.   
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π

 
 
 The only material property used in the buckling analysis is Young’s modulus of the Zircaloy fuel rods.  The 
distribution of loads required to cause failure in the spent fuel rods is calculated in a Monte Carlo simulation in which 
the modulus of the rod is sampled from a statistical distribution.  The fuel rod dimensions are taken as deterministic 
values.  The assumed distribution of Young’s modulus values is based upon a simple analysis of data found in the open 
literature.[27,28,29,30.31,32,33]  Young’s modulus for Zircaloy was sampled from a normal distribution with a mean of 68 
GPa (9,800,000 psi) and a standard deviation of 9.7 GPa (1,400,000 psi).  For conservatism, it is assumed that the spent 
fuel pellets transfer their entire weight to the cladding.  Stress analyses of various mechanical impact events provide the 
loadings imposed on the spent fuel rods.  The distribution of failure loads is compared to the applied loads for a given 
accident scenario to determine the percentage of spent fuel rod failure.  
 The resulting cumulative distribution functions (CDFs) of critical failure loads for different types of assemblies 
are plotted in Figure 5.  The differences among the assembly types are due to variations in the cladding dimensions.  
Failure susceptibility increases as clad thickness decreases.  Therefore, the 10x10 assemblies are more susceptible to 
spent fuel failure than the 7x7 or 8x8 assemblies.  The applied loading on the fuel rods for the various initiating events 
will be calculated in the structural analyses.  It is assumed that the applied loading is identical for all fuel rods.  By 
comparing the CDF of critical failure loads with the applied loads the percentage of fuel rod failures can be determined.   
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Figure 3 Fraction of fuel failure versus load for various fuel assemblies. 
  

For thermal loads, spent fuel rod failure is determined by comparing the cladding temperature to the temperature 
limit imposed by the SAR.  This reference lists 394°C (742°F ) as the Zircaloy temperature limit for BWR spent fuel 
assemblies which have been in the spent fuel pool for a minimum of 5 years.  This temperature limit is based upon a 
methodology developed by Pacific Northwest National Laboratory for calculating permissible peak clad temperatures 
for generic commercial spent fuel rods.  

Thermal analyses of the storage cask for both the fire and blocked vent scenarios are still being performed.  Since 
the thermal models used in these analyses are not modeling the spent fuel assemblies in the MPC; the cladding 
temperatures are not explicitly known.  However, the temperature of the helium fill gas within the MPC is modeled for 
these accident scenarios.  It is assumed that the helium temperature is a reasonable estimation of the cladding 
temperature.  Fuel rod failure for thermal accidents is predicted if the helium temperature exceeds the maximum 
allowable cladding temperature limit imposed by the SAR.   
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SUMMARY 
 
The responses of a fully loaded transfer cask and storage cask will be analyzed to determine the probabilities of 

MPC failure and fractions of fuel failure.  The loads occur if the cask is accidentally dropped or if cooling is inhibited.  
The events examined in this study include both mechanical (drop) and thermal loading conditions.  The results of these 
probabilistic failure analyses will be used as part of a PRA for a specific dry cask storage system.   
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