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ABSTRACT

Micromechanical material models for the description of ductile tearing in ferritic and austenitic
steels are introduced and their theoretical background is given. In particular the application of
the modified Gurson model for the assessment of the tearing resistance will be demonstrated.
As an example recent investigations on the toughness of an austenitic cladding of a reactor
pressure vessel will be described. The different zones of the cladded material (two layer
cladding, heat affected zone and base metal) are investigated on the basis of subsize round and
flat tensile specimens as well as subsize three point bend specimens. These specimens are
partially fabricated in compound technique, because they are taken from the broken halves of
Charpy specimens of the original material. The Gurson parameters are determined by
numerical investigations of these specimens and J and CTOD resistance curves are calculated.
On the basis of the numerical investigations a sufficient load bearing capacity of the cladding at
relevant loading conditions could be demonstrated .

1 INTRODUCTION

Standard constitutive equations in continuum mechanics establish the macroscopic relation between
deformation and stress tensors in a phenomenological way. Advanced micromechanical models are
constitutive equations including internal . variables which describe the development of the
microstructure, like, e.g., the decreasing porosity in a sintering material, the increasing damage on
grain boundaries by microcracks for materials exhibiting a particular kind of creep damage. The
Gurson model, in particular, describes the increasing porosity and the final ductile rupture of steels
through the formation, growth and coalescence of voids emanating mainly from second phase
particles.

The application of those models in finite element analyses of specimens and structures requires
spatial discretization in microstructural dimensions and has thus become feasible in recent years
when powerful computers became available. Since micromechanical models are based on the
physical description of microscopical mechanisms of these phenomena, the application of the local
approach is not limited to certain loading conditions and geometries of specimens or components.

In this paper, the application of the Gurson model for the determination of the fracture toughness
of nuclear pressure vessels will be demonstrated: For neutron-embrittled weld materials, ductile
fracture resistance curves were derived on the basis of tensile and Charpy-type tests and fracture
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toughness reference curves could be adjusted. With the development of elaborate experimental
techniques towards fabrication and testing of small specimens, also the evaluation of strength and
toughness gradients, e.g., in the austenitic cladding has become possible.

2 THE MODIFIED GURSON MODEL

The ductile fracture model is based on a flow function derived by Gurson [1] and modified by
Needleman and Tvergaard [2]. The microscopical processes of ductile fracture characterized by
nucleation, growth and coalescence of voids are included in the constitutive relations. All
engineering metals and alloys contain inclusions and second-phase particles at which, in the course
of plastic deformation by either debonding or cracking, microvoids nucleate and grow until void
coalescence occurs by a localized internal necking of the intervoid matrix or by the formation of
shear bands. In this model the voids are represented by a single parameter, the void volume fraction
. Its evolution equation consists of two terms, namely the nucleation and growth
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The void growth rate is proportional to the plastic volume dilatation rate and depends
exponentially on stress triaxiality. The nucleation rate can be described by using strain or stress
criterion. Plastic flow in porous materials does not only depend on the effective plastic strain, €”, in
the matrix material but, according to this model, also on a second internal variable, the void volume
fraction, f. The original assumption that the microvoids do not interact is not justified for modeling
the final stage of void growth when coalescence of voids by localized internal necking of the
intervoid matrix occurs. Needleman and Tvergaard, e.g. [2], therefore introduced an empirical
modification of Gurson's yield function
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o and o' are the (mesoscopic) Cauchy stress tensor and its deviator, respectively. o(g’) is the
actual flow stress of the matrix material. The parameter g holds for an earlier loosing of the stress
carrying capability of the material as in Gurson's original yield function and the modified void
volume fraction £~ is introduced accounting for the coalescence of voids which occurs after a
critical void volume fraction £ is reached. Eqn. (2) reduces to the original von Mises yield function
if no voids are present, i.e., f =O0.

3 DETERMINATION OF MATERIAL PARAMETERS

Two classes of material parameters are needed: parameters which characterize the hardening of the
material in the classical rate independent plasticity or in visco-plasticity, and parameters which
characterize the evolution of damage in the modified Gurson model. These include seven
parameters in total, three of them model void nucleation and four describe the evolution of void
growth up to coalescence and final failure. The most important of these parameters is f;, which,
however is not independent on the choice of the other parameters. In the numerical simulation of
the tensile test with the Gurson model the onset of macroscopic fracture, i.e. when £ is attained, is
associated with a pronounced load drop [2,3]. Therefore, f. is determined by fitting the numerical
results to the experimental data at this point. The critical void volume fraction, £, turned out to be
nearly independent of the stress triaxiality. As an example, Figure 1 shows for static and dynamic
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loading the measured and calculated load vs. diameter change curves of smooth tensile specimens

from the pressure vessel steel 22NiMoCr3 7 (ASTM A 508 Cl 2). The critical void fraction
J=0.045 was determined by fitting the sudden drop in the numerical load vs. displacement curve of
the static tensile test with the measured displacement at rupture. The fracture behavior of the
dynamic tests was well predicted by using the same set of micromechanical parameters. Strain-rate
hardening and adiabatic softening are two important phenomena in dynamic tests and have been
taken into account in the modified Gurson model [4]. :
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Figure 1: Measured and calculated load vs. Figure 2: Measured and calculated Jr-curves
displacement curves of smooth tensile for static and dynamic loading.
bars under static and dynamic loading.

A second important material parameter in the application to cracked structures is the characteristic
distance /;, over which f; must be exceeded in order to initiate or propagate the crack. The
characteristic length I is closely related to the microstructure (inclusion spacing). There are
different methods for introduction of the /-value into micromechanical modeling [5,6]. A simple
but practical method is based on the choice of a particular mesh size at the crack tip which can be
obtained by matching the calculated load vs. displacement curve with the experimental one of a
cracked specimen. The pair f; and /, can be considered material constants which allow the transfer
from the simple specimens to complex components [7,8].

A major advantage of ‘micromechanical models is that initiation and propagation of the crack
occur naturally, that is, without using additional numerical techniques. The crack extension Aa
calculated with the Gurson model is identified with the size of the damage zone where due to the
void growth the stresses drop to practically zero. To relate the micromechanical model to
macroscopic fracture-mechanics concepts, the J-resistance (Jz)curves can be evaluated from the
numerical results. Figure 2 shows the calculated and measured Jz-curves for static and dynamic
loading. Con31denng the scatter of the material strength, the agreement between the simulation and
the experiment is very good.

4 EVALUATION OF FRACTURE TOUGHNESS FROM SMALL SPECIMENS

The Gurson model was applied to-assess the toughness degradation of pressure vessel core welds
due to neutron embrittlement for two German plants (PWR and BWR).
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4.1 Fracture toughness of a PWR weld for EOL situaton

The first case deals with the EQL-situation of a German PWR. Within the irradiation surveillance
program results from reliable fracture mechanics tests with WOL-specimens were available up to a
temperature of 100°C. After the successful completion of a validation program for the new
evaluation method, the Gurson model was applied to evaluate micromechanical material
parameters, in particular the critical void volume ﬁ'achon, f., from the test record of a tensile
specimen tested at 120°C [9].
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Figure 3: Measured (WOL-specimens) and synthetic (Gurson)
toughness of irradiated weld material of a PWR-RPV

Together with a length parameter, /., taken from investigations with a similar material tested in the
unirradiated state, a compact specimen was numerically simulated and a J-resistance curve was
obtained. The initiation value of J was converted into a Ky-value in order to estimate the
continuation of the original Ky-data towards higher temperatures: Figure 3 demonstrates the very
reasonable extension of the existing database by the new method ([9]).

4.2 J-resistance curve for a BWR weld

The second example deals with the EOL situation of the core weld of a German BWR pressure
vessel. The available material consisted of several broken Charpy specimens and the. force-
displacement records of these tests. Since stress-strain data of the irradiated situation were not
available, sub-sized tensile specimens (diameter 2,6 mm) and SE(B) specimens (4,9 x 4,9 x 24,5
mm?®) were fabricated from broken halves of Charpy specimens and tested in the hot cell facilities of
SIEMENS. From the tensile specimens, stress-strain curves and the critical volume fraction of
voids, f;, were determined by numerical simulations. The strain rate sensitivity of the material was
obtained from the numerical simulation of the original Charpy test in comparison with the test
record. From a side-grooved SE(B) specimen tested by SIEMENS in a 300 J pendulum the
characteristic length, I, was derived, as well as a dynamic Jz-curve.
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With these parameters, it was also possible to simulate a fictitious C(T) test and to derive a static
" Jr-curve. Three SE(B) specimiens were tested with different impact energies in orderto achieve
different amounts of ductile crack extensions and, hence, to determine a multi-specimen dynamic
resistance curve. All results are compiled in Figure 4.

The computed dynamic resistance curve is well supported by the experimental data, and the static
curve lies well below the dynamic curve. It is important to note that in all dynamic tests the fracture
surfaces showed only dimples. Therefore, the initiation values of the static and dynamic Jp-curves
could be converted into Kj-values and used to fit the ASME-K,. curve with a reference
temperature of 56°C as a conservative envelope of the real K. curve of the irradiated weld material
[10].
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Figure 4: Static and dynamic J-resistance curves of irradiated weld material

4.3 J-resistance curve for a two layer cladding

The third example demonstrates the toughness characterization of a two layer cladding by
means of ductile fracture mechanics methods, using the local approach [11]. Pieces of broken
standard (10x10x55 mm?®) Charpy specimens with original cladding and base metal taken from
irradiation programs were used. Mini tensile and bend specimens were fabricated in different
orientations to investigate the behavior of a circumferential crack in a vessel in both crack
growth directions. For this purpose sub-sized round tensile specimens with a diameter of 2
mm orientated in T and L direction were manufactured in compound technique and tested at
TWM. Flat sub-sized tensile specimens in L-orientation (compact specimens) were tested at
SIEMENS in order to measure the gradient of the tensile properties of the cladding, HAZ and
base metal. In addition, small bend specimens in L-S direction (8x8x60mm?) and T-L direction
(5x10x50mm’] were reconstituted to perform J-Aa experiments at IWM and SIEMENS. All
reconstituted specimens were electron beam welded. According to the purpose of the project
to measure the fracture resistance at the relevant temperature for a loss of coolant accident,
the tensile tests were performed at 100°C. During the experiments the reduction of area of the
smooth tensile bars and the reduction of the width of the flat tensile specimens were recorded.
Beside the technological characterization of the cladding the results of the tensile tests were
important to determine the true stress-strain curves for the FE-calculations of the cracked
bend specimens. Based on former calculations of an austenitic cladding most of the Gurson
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parameters were tentatively fixed at the beginning of the calculation (the constant q in the flow

stress function, the strain &, being responsible for the formation of the voids und the standard
deviation s, the volume fraction of void nucleating particles f,, the initial void volume fraction
fo and x the acceleration factor for void growth). By variation of the critical void volume
fraction f; during the FE calculations, the load drop at the end of the load displacement curves
was adapted and the according f. for the material was determined. During the tests of the flat
tensile specimens only the reduction of width was continuously photographed, and therefore
the actual cross section was not known exactly. In the FE simulation the stress strain curves
were iteratively fitted, Figure 5 shows the comparison of the simulation and the experiments

for specimen 6 (1. layer of cladding near HAZ) and specimen 1 (2. layer of cladding near free
surface).
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Figure 5: Adjusted stress-strain curves for the two layers of cladding

The fractographic examination of the flat sub-size tensile specimens (Figure 6) shows dimples
at the crack surface and slip lines at the free surfaces, demonstrating the ductile behavior.

For the complete description of the cladding material behavior in the ductile regime by means
of the local approach, the characteristic length /. (averaged distance between two inclusions)
has to be determined. Therefore, the tests of the reconstituted precracked SE(B) in T-S
orientation were simulated by 2D- and 3D-FE calculations. It was sufficient to use a plane-
strain model to simulate the specimens in T-S orientation, it means that the crack grows in the
thickness direction of the vessel. The specimens were loaded displacement controlled, like in
the experiment and the J-Integral was evaluated along several lines to demonstrate path
independence. The crack growth Aa was defined as the path along which the void volume
fraction f has exceeded the critical value f. All Gurson parameters were identical to those in
the calculation of the smooth tensile bars and the flat tensile specimens. According to former
experience with austenitic cladding a characteristic length /. = 0.05 mm yielded a good
agreement between experimental and simulated load displacement diagrams.
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Flgure 7: J-resistance curves for the first layer of the cladding measured and calcualted on a
SE(B) specimen and calcualted for a fictious CT specimen

Because only sub-sized SE(B) specimens could be tested at the relevant temperature of
100°C, a CT25 fracture mechanics specimen was simulated to obtain a representative J-
resistance curve. In Figure 7, the numerical simulations of both specimens led to initiation Ji
values of 69 kJ/m? (CT specimen) and 66 kJ/m? (SE(B)). In comparison, the experimental
results at initiation and final crack growth are given and the agreement is good. It could be
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demonstrated that due to the transferability of the micromechanical parameters the local
approach could be applied to determine the valid J-resistance curve by using small specimens.
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Figure 8 Defomléd 3D-mesh for the SE(B) specimen of the cladding in T-L orientation

To characterize the fracture behavior of a crack propagating in the circumferential direction of a
pressure vessel, a SE(B) specimen from the cladding in T-L orientation was modeled in 3D. In this
case, the crack front crossed both layers of the cladding. As for the first layer of cladding, the
micromechanical parameters for the second layer were determined by testing and simulating a small
tensile specimen with diameter of 1 mm, which had been taken from a broken half of a Charpy-V
specimen. The SE(B) specimen was side-grooved (10% each side). The boundary between both
layers of cladding in the specimen was at the center line of the cross section. Due to the different
mechanical behavior of both cladding layers, the whole thickness of the specimen had to be
modeled (Figure 8).

Figure 9 shows the calculated and measured load vs. displacement curves of the SE(B) specimen
in T-L orientation. The numerical prediction agrees with the experimental results until crack
initiation occurred in the second layer of cladding at a load-line displacement of 0.87 mm. The
crack extension began in the first layer at the displacement of about 0.70 mm. Obviously, the
development of ductile fracture in the second layer was over-estimated by the numerical model.
This was attributed to the fact that the small tensile specimen of the second cladding layer, was
taken from a position at the boundary of both layers and could not present the whole layer-over
which a strong property gradient was expected. An additional calculation with the modified
parameters confirmed this explanation.
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Figure 9: Calculated and measured load vs. displacement curve of the SENB specimen of cladding
(T-L odentation)

Figure 10 shows the fracture surface of the SE(B) specimen. The left side of the surface was the
second layer of cladding and the right side the first layer of cladding. As expected, the crack grew
essentially in the first layer. In other words, the second layer of cladding showed a higher crack
resistance than the first layer which was welded on the ferritic base material. The CTOD-resistance
curves were numerically evaluated for both cladding layers (Figure 11). The initiation values
8=0.12 mm for the first layer and 8;=0.172 mm for the second layer could be determined.

Figure 10: Fracture surface of the SE(B) specimen of cladding (T-L onientation, T=100°C)
left side: second layer, right side: first layer

El
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Figure 11: Calculated CTOD-resistance curves for both cladding layers (T-L orientation, T=100°C)

5 CONCLUSION

The application of micromechanical models to fracture mechanics problems, generally known as
"local approach", has opened new possibilities to predict fracture toughness and tearing resistance
of materials, and to assess the behavior of cracks in the presence of large gradients in the material
properties. The main advantage of local approaches against classical fracture mechanics is evident:
the parameters of the respective models are, in principle, only material and not geometry
dependent Thus, these concepts guarantee transferability from specimens to structures over a wide
range of sizes and geometries.

Here, the application of the Gurson mode! for nuclear installations was shown: The evaluation of
the fracture toughness of irradiated weld material as confirmation and extension of existing
standard data, and the assessment of the load carrying capacity of the austenitic cladding and its
consequences for the behavior of postulated sub-clad flaws.
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