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ABSTRACT

A large-deformation, hyperelastoplastic constitutive model for cyclic loading combined
with a damage model for ductile crack extension is formulated in order to investigate the
effect of arbitrary loading histories on the material behaviour near the crack-tip. Such a
model goes beyond the usual J-integral-based approaches, which are limited to monotonic
loading conditions and small deformation. Implemented in the FE-Code ABAQUS, this
model is used to study the residual stresses ahead of the crack-tip in a side-grooved
C(T)-specimen subject to cyclic loading.

1. INTRODUCTION

The process of warm pre-stressing in the upper shelf results in an apparent increase of
fracture toughness in the lower shelf. Such behaviour is commonly explained by the
occurence of residual compressive stresses ahead of the crack tip in the material arising
during loading/unloading and/or cyclic loading in the lower shelf. In this work, we
investigate the load-unload part of the load-unload-cool-fracture thermomechanical path
associated with the warm pre-stress effect, showing that such a mechanical loading path,
when combined with the associated development of damage and kinematic hardening in
the material ahead of the crack tip, lead to such compressive residual stresses near the
crack tip in a C(T) specimen.

The material model presented in this work is based on a hyperelastoplastic formulation
of kinematic hardening at large deformation combined with a damage model for ductile
crack extension. The advantage of such a formulation is its ability to account for the
effects of arbitrary loading histories on the material behaviour, and in particular that
in the neighborhood of the crack tip. Indeed, such a model goes beyond the usual J-
integral-based approaches, which are limited to monotonic loading conditions and small
deformation. The combined model is based on the Armstrong-Frederick [1] model for
kinematic hardening, as well as the Gurson [2] model for ductile crack extension in the
form proposed by Needleman and Tvergaard [3], and is formulated to account for the large
inelastic deformations experienced by the material during loading (Svendsen et al. [4]).
This model represents an extension of that of Klingbeil et al. [5] to hyperelastoplasticity
and to account for the effects of kinematic hardening on crack initiation and growth
during cyclic deformation. To perform the simulations, the model has been implemented
in the FE-Code ABAQUS.

This model is applied in particular to the investigation of the cyclic loading behaviour
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This model is applied in particular to the investigation of the cyclic loading beha-
viour near the crack tip in C(T) specimens consisting of the shape-welded, quenched
and tempered steel designated by 10 MnMoNi 55 in the German steel industry. The
kinematic hardening parameters for this material have been determined with the help of
cyclic uniaxial tests. For the simulation discussed in this work, these are combined with
Gurson parameters obtained previously (e.g., Klingbeil et al. [5]) Gurson parameters for
10 MnMoNi 55 obtained from uniaxial tension tests on notched bars of this material are
currently being determined.

2. MODEL FORMULATION

In this work, we are interested in formulating a model for the material behaviour of metals
(steels) comsisting of a softer elastoplastic polycrystalline matrix material and hard non-
metallic elastic or “rigid” inclusions on whose boundaries void nucleation takes place,
and void growth begins, leading to crack initiation and ductile crack propagation in the
material. The metals of interest here (e.g., shape-welded steels) are all assumed to exhibit,
in an effective sense, elastoplastic material behaviour. In particular, the elastic part of
this behaviour is assumed to be linear and isotropic. Because the elastic ranges of such
materials are small, the elastic deformation in the process never becomes large, allowing
the exploitation of the constraint of small elastic deformations.

To account for the large inelastic deformations, the model is based on the standard
multiplicative elastoplastic decomposition FgF, of the deformation gradient F'. In this
context, the material model itself is formulated with respect to the so-called “intermediate”
configuration. In particular, the basic constitutive relations of the model then take the
forms
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representing an algebro-differential system of equations for the plastic deformation E,
deformation-like internal variable Y associated with kinematic hardening in the matrix,
that ¢, associated with isotropic hardening there, the void volume fraction f, and the
plastic multiplier v, where ¢ represents the yield function. The relations (2.1) are com-

pleted by the additional constitutive relations
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In these relations, D, = 3(L,+ L) represents the plastic deformation rate. Further, M
represents the Mandel stress tensor, A and ¢ Lamé constants, and InU, the elastic right
logarithmic stretch tensor derived from F;. In-addition, X represents the back stress,
X =M -—X, c thelinear kimenatic hardening modulus, and b the non-linear Armstrong-
Frederick saturation parameter. Beyond these, the yield stress g, of the matrix material
is determined by the “mean” or effective equivalent plastic strain ¢,, there (e.g., Chaboche
[6]), with a,,, the initial yield stress, ¢, that for infinite equivalent plastic strain, and k
a material parameter. :

Turning next to the Gurson yield function ¢ in (2.2), o, = (3 X' - ') represents
the effective von Mises equivalent stress, X' the deviatoric part of X, and g, = %I X
its hydrostatic part. In addition, ¢; and ¢, represent numerically-determined geometric
factors accounting for the coalescence of voids in the material, as does the effective void
volume fraction f* in the material, which is equal to the true volume fraction f for f
less than or equal to its value f, at which void coalescence begins, and to f, + k(f — f.)
in the void coalescence regime, where k = (f; — f.)/(f; — f.), and f; (respectively f7) is
the value of f (respectively of f*) at crack initiation.

The void volume fraction f is assumed in (2.1}, to evolve on the basis of (1), nucleation
of new voids, and (2), growth and coalescence of existing ones. In particular, the first
term on the right-hand side of (2.1)4 controls changes in f due to growth under cyclic
loading, and is obtained from local mass balance considerations via the assumptions
that (1), the mass density of the matrix is constant, and (2), the elastic deformation
rate is negliglible. The other term involving the factor A represents plastic deformation-
controlled nucleation of voids, assuming an initial Gaussian distribution of emerging voids
due to plastic deformation, resulting in void nucleation and growth. In A, f, represents
the volume fraction of void-nucleating inclusions, €, the mean equivalent plastic strain at
which decohesion of the inclusions from the matrix occurs, and s, its standard deviation.

Since the Armstrong-Frederick relation for kinematic hardening does not depend on
R, and since the material is assumed elastically isotropic, we may assume R, = I,
or equivalently F, = R.U, = U, without loss of generality, here. Then, for small
elastic deformations, F' ~ R_U, holds. Exploiting further the uniqueness of the polar
decomposition F' = RU of F then yields the kinematic form R, =~ R for R, with which
we work in what follows. Finally, solution of (2.1) with (2.2) then yields the Kirchhoff
stress K = RMR" with respect to the current configuration in the context of small
elastic deformations. k

3. NUMERICAL IMPLEMENTATION, RESULTS AND DISCUSSION

Following Eterovic & Bathe [7], the hyperelastoplastic algorithm to be developed here is
based on a direct implicit time integration of (2.1) over a time interval [¢,,?,,,]. Assuming
L, is approximately constant in this interval, integration of (2.1); over this time interval,
use of (2.2)4 to rewrite it in terms of F,, and linearization of the resulting expression for
small elastic deformation as well as small incremental inelastic deformation yields the
algorithmic form

WU,y =l — {7 pln1 (8.1)

for the algorithmic evolution of InUj. Here, InUj,, is obtained from F,, = E, +1nBns

representing the so-called trial elastic deformation, where F,,, , = E, +1F,‘fl is the pre-
scribed relative deformation. Further, note that 7,4, = (¢, —¢,) Ynt1. Backward-Euler
integration of the other evolution relations leads as usual to a system of non-linear rela-
tions which may be solved via via the usual predictor-corrector approach. The following
simulation is based on an implementation of this system in the FE-Code ABAQUS via
the user interface UMAT.
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As discussed in the introduction, the material involved in-the simulation to be discussed--
below is a shape-welded steel designated by 10 MnMoNi 55 in the German steel industry.
The effective isotropic elastic material behaviour of this steel is determined by the Lamé
parameters A = 121154 MPa and p = 80769 MPa, representing a Youngs’ modulus of
210000 MPa and a Poissons ratio of 0.3. With the help of uniaxial cyclic strain-controlled
experiments on smooth bars of this material to 1-3% strain and at a temperature of 25°C,
the values g, (c0) = 650 MPa, 0,,(0) = 430 MPa, and k = 400 have been determined for
the isotropic hardening parameters of the model. Likewise, the values ¢ = 72000 MPa and -
b = 200 for the Armstrong-Frederick kinematic hardening parameters were determined.
The experiments used to determine both sets of paramters for 10 MnMoNi 55 were carried
out in Laboratory V.21 at the Federal Institute for Materials Research and Testing,
Berlin. Combining these experiments with uniaxial tension experiments on notched bars
of 10 MnMoNi 55, the remaining Gurson parameters f,, s,, &, f., f, and fy may then
be determined. As this work is in progress, the simulation to follow is based the values
f, =002, s, =01, ¢ =03, f, = 0.021, f; = 0.19, and fF = 0.6, for these parameters
determined for a similar steel by Klingbeil et al. [5].

Using the above parameter set, one can model in particular the development of the
residual stresses ahead of the crack tip during cylic loading of a specimen, and so the effect
of these on the effective critical stress intensity needed for crack initiation in the brittle
regime. Consider for example the simulation involving a side-grooved C(T)-specimen of
width 25 mm shown in Figure 1. Taking advantage of the symmetry of the specimen,
as well as the plane strain conditions, the upper half was discretized with the shown
9-dimensional FE mesh involving 483 4-node bilinear elements. The refined mesh in the
material ahead of the crack consists of such elements with an edge length of 0.05mm; the
average edge length of the remaining larger elements is 1.5mm. The model was subjected
to the cyclic loading path shown in Figure 1, consisting of 3 low-amplitude cycles of 30
kN each, representing approximately 70% of J; for this material. Such a cyclic loading
corresponds to the load-unload phase of the load-unload-cool-fracture thermomechanical
loading path associated with the warm-pre-stress effect.

The results shown in the remaining Figures-2-4 are those representing the state in the
material near the crack tip at the end of the third cycle, i.e., unloaded. In particular,
although the plastic region around the crack tip is relatively small (Figure 3), the devel-
opment of residual stresses in the material there, as indicated by the crack opening stress
K,, shown in Figure 2, is already quite advanced. Furthermore, these are indeed com-
pressive in nature, reaching -1400 MPa just behind the crack tip. Moving away from the
crack tip, the residual compressive stresses decrease to zero and then become extensional
in nature (Figure 2), reaching 240 MPa about 0.8mm behind the crack. Although these
stress values are quite high, note that the von Mises equivalent stress is low due to the
low yield stress and high triaxiality.

On the basis of this simulation then, it is clear that the compressive stresses experienced
by the material ahead of the crack tip during the unloading phase of the cyclic loading
history are frozen into the material there via the corresponding plastic deformation,
damage and emergent kinematic hardening of the material. Finally, analogous to the
crack opening stress shown in Figure 2, the maximum principle stress in the material
near the crack tip (Figure 4) is also highly compressive. As such, further elastic tensile
loading of the pre-stressed crack would lead to a reduction of these stresses at the crack
tip. The resulting maximum principle stress state in the pre-stress material would then
be much lower than that attained in the non-pre-stressed or virgin material at the crack
tip under the same loading. On the basis for example of a Weibull distribution for the
maximum principal stress at the crack tip, then, the same probability for cleavage fracture
would be reached in the pre-stressed material at a higher load than in the corresponding
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virgin material, -

4. CONCLUSIONS

‘We have shown that, with the help of hyperelastoplastic constitutive modeling includ-
ing kinematic hardening and damage, the stresses and internal variables (i.e. equivalent
plastic strain) can be obtained for arbitrary loading histories. In particular, this allows us
to go beyond the limits of classical fracture mechanical models for such processes. From
such modeling, one can further obtain estimates of fracture toughness values and cleavage
fracture probabilities in the context of a Weibull model or more advanced models.
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Specimen: C(T), B = 25mm , Side-grooved
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- Figure 1. G(T) specimen, FE mesh, cyclic loading.

694




ecrack tip

-1.40E+03
-1.10E+03
=9.00E+02
~7.00E+02
-5.00E+02

-3.00E+02

-1.00E+02
+1:00E+02

+2 .39E+02
=

Figure 2. Crack opening stress for whole specimen (above) and ahead of the crack tip
(below).
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Figure 3. Plastic zone near the crack tip.

Figure 4. Maximum principal stress near the crack tip.
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