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SUMMARY

The purpose of this paper is to describe recent numerical and experimental correlation
studies of several plastic work-hardening rules. The mechanical sublayer model and the
combined kinematic-isotropic hardening rules are examined and the numerical results for
several structural geometries are compared to experimental results. Both monotonic and
cyclic loads are considered.

The governing incremental plasticity relations are developed for both work-hardening
models. The combined kinematic-isotropic hardening model is developed in terms of a ra-
tio » which controls the relative contribution of kinematic hardening (yield surface trans-
lation) and isotropic hardening (yield surface expansion). In addition to making use of a
uniaxial stress-strain curve as input data, the model allows for the input of a yield surface
size vs. uniaxial plastic strain curve obtained from a cyclic uniaxial reverse loading test.

The mechanical sublayer model is developed in general form and a new method for
determining the sublayer parameters (stress weighting factors and yield stresses) is pres-
ented. It is demonstrated that former procedures used to obtain the sublayer parameters
are inconsistent for multiaxial loading.

Numerical and experimental results are presented for a cylinder, circular plate with
punch, and a steel pressure vessel. The numerical results are obtained with the computer
program AGGIE I. The comparison study indicates that reasonable agreement is obtained
with both hardening models; the choice depending upon whether the loading is monotonic
or cyclic. For cyclic loading, if an experimental cyclic stress-strain curve is available, then
the combined kinematic-isotropic hardening model may be used to obtain results which
agree quite well with experiment.
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1. Introduction

The adequacy of an elastic-plastic structural response prediction is governed to a large
degree by the work-hardening model employed. The choice of a work-hardening model becomes
particularly important for reverse and cyclic loading conditions. In an extensive numerical-
experimental correlation study, Hunsaker, et.al.[1] compared the predictive capability of
isotropic hardening, kinematic hardening, the mechanical sublayer model and the Mroz model
and showed that the choice of a hardening rule depends on the material to be modeled, the
anticipated loading path, and the structural behavior under consideration. Reference [1]
contains a detailed description and comparison of the above mentioned hardening models; the
present paper will consider primarily the combined kinematic-isotropic hardening model and
the mechariical sublayer model. It should be remembered that the central purpose of most in-
cremental plasticity theories is to obtain a relationship which predicts an increment of
stress corresponding to an increment of strain (via an effective modulus). For brevity, the
theoretical part of this paper concerns itself only with this aspect of elastic-plastic an-
alysis. The development of the equations of motion, the solution of the incremental equations,
the computational aspects, etc. are discussed in Refs. [2,3] and not included here.

2. Combined Kinematic-Isotropic Hardening

Possibly the first proposed hardening rule which incorporated both an expansion and
translation of the yield surface during plastic flow is that presented by Edelman and Drucker
[4]. The first investigator to combine classical kinematic hardening [5,6] and 1sotropic
hardening [7] however was Hodge [8] in 1957, who proposed a linear combination of the two
models. Berman and Hodge [9] later presented a very general theory of workhardening for
plecewise linear yield surfaces which will reduce to combined kinematic-isotropic hardening.
Hodge's most recent work on the piecewise linear yield surface theory is reported in Ref.
[101.

Mroz [11,12] has introduced a fairly complicated combined kinematic-isotropic hardening
rule known as the Mroz model. This model envisions a yield surface translating and expanding
within a field of geometrically similar surfaces of constant moduli.

Krieg [13] developed a two surface plasticity theory which represents a form of combined
kinematic-isotropic hardening. Besides & yield surface which is allowed to both expand and
translate, this model also employs the concept of a "limit surface" which grows and moves
independently of the enclosed yield surface. The appropriate hardening modulus is assumed to
then be a function of the distance between these surfaces at the loading point.

It needs to be pointed out that the latter two models do not employ either of the clas-
sical forms (i.e. those of Ziegler [6] and Prager [5])of yield surface translation. Rather,
the translation of the yield surface is governed by the geometrical requirement that the yield
surface not overlap the other geometrically similar surface employed by these models.

The form of combined kinematic-isotropic hardening used in this investigation is that
presented by Tanaka [14] and Hunsaker [15]. The yield surface is assumed to translate in ac-
cordance with Ziegler's [6] rule. Both the hardening modulus and yield surface size at any
point in the deformation history are assumed to be functions only of an equivalent uniaxial
plastic strain. The hardening rule is formulated for small strains only.

Very recently, Key et.al. [16] have correctly extended combined kinematic-isotropic

hardening to the case of large strains. Rather than relating the simple time derivative of
stress to the strain rate, as is done in the current research, Ref. [16] employs the
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kinematic-isotropic hardening rule with linear strainhardening to relate the corotational
stress flux of the Cauchy stress to the stretching tensor. A second formulation is also
proposed to relate the corotational stress flux of the Kirchhoff stress to the stretching
tensor. The basis of these two models is the assumption that the stretching and Green-
Lagrange strain rate may be decomposed into elastic and plastic parts. The resulting two
constitutive models exhibit the necessary invariance at large strains and reduce to the for-
mulation presented in Ref. [2].
2.1 Formulation
A fairly general form for an initial yleld surface which is allowed to both translate
and expand {or contract) is
F(Sy4 - ayg) = K(sdel ) (1)
where ds?j is the increment of plastic strain, S1jis the 2nd Piola-Kirchhoff stress tensor,
ejj is the Green-Lagrange strain tensovr, o] is the position of the center of the yield sur-
face in stress space, and k(fde?j) is taken to mean that the yield surface size k 1s a fun-
ction of the history of plastic deformation.
The associated flow rule is then given by
defy = %} (2)
where A is a scalar to be determined. Towards this end, the projection of the increment of
stress onto the normal to the yield surface is a scalar multiple of the dot product of the

plastic strain increment vector and the yield surface normal, or

- o

dS,2c— = cde;; T (3)

where ¢ is scalar. Assuming small strains, for a linearly elastic material the stress in-
crement is given by

- _ 4P
&S5 = E1‘jmn(d€mn depp) » (4)
where Eijmn is the elastic constitutive tensor and deij is the increment of total strain.

It should be emphasized that eq. (4) strictly 1imits the present analysis to small strains,
the reason being that the simple time derivative of the stress tensor 1s not invariant at
large strains. For large strains, a properly invariant stress flux must be employed [16].
Substituting eq.(2) into eqs.(3) and (4), and solving the resulting expression for A,
E.. de

ijmn "Tmn
A= ( ) (5)
E + c

pars rs
Using eqs. (2), (4), and (5), a resulting expression relating the stress increment to the

total strain increment may be obtained.

ds E de (6)

ijmn ~ mn

In considering the translation and expansion of the yleld surface, for a point to re-
main on the yield surface during plastic flow,
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3F
(dsij - daij) asij 2k dk . (7)
If the yield surface translates according to Zeigler's rule,
daij = u(S_iJ - aij) (8)
where u is a scalar. Substituting eq. (8) into eq. (7) and solving for yu,
aF
dsij e 2k dk
o= (9)
(Spn = %n!

It is convenlent from an application standpoint to express both the hardening modulus,
c, and the yield surface size, k, as functions of the equivalent uniaxial plastic strain,

EP, where

dz’ el

2. P
Fdeyy deyy

(10)
If the von Mises initlal yleld condition is employed and the material is assumed to be in-
itially isotropic, linearly elastic,

Fed(y - a)by oy an

3

aij

-
0]
w
—
wy
~—

(12)

and the hardening parameter ¢ may be obtained from uniaxial tensile data (cx,ex) as
dax

de

c-% (13)

x T

Tanaka [14] has shown that use of the von Mises criterion allows eq (6) to be simp-
lified to
{dS} = [D] {de} (14)
where
T._
{dS}" = LdS]] dS22 dS33 dS]2 dS.I3 dSZ3J (15)

T
{de}’ = |_de:.|.I de22 d533 2ds12 2de.|3 2d523J

Sy9 S

1 511
S11 S22 S22 Sy

symmetric
$33 333
S33 S12 S92 512

S22 S33
511 592 S22 592
511 513
s

(16)

S22 513 S33 513 512 S13 13 %43

11 523 S22 923 333323 12323 S13 523 Sp3
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g = {0 if the material_is elactic
(3G)/{c/36 + 1)/k% if the material is plastic QF))]

Si3 TSy %y (18)

(1-v)/(1-2v)

v/ (1-2v) (1-v)/{1-2v) symmetric
v/(1-2v) v/(1-2v) (1-v)/(1-2v)
[0°] = 26 0 0 0
0 0 0 0% (19)
0 0] 0 00%

and G and v are the elastic shear modulus and Poisson's ratio, respectively. The quantity
§1j is termed the "active" stress and S;j and a;j are the deviatoric components of Sij and
IR respectively.

For the variation of the yleld surface size, k, with &P required in eq. (1), one may
use experimental data obtained from a uniaxial, cyclic reverse load test. A typical first
cycle of such a test is shown in Fig. 1. Note that for subsequent cycles, one must record
the accumulated & , i.e., & = f|d€§|- A typical k vs. & curve obtained from experimental
cyclic stress-strain data is shown in a latter example problem. Alternately, if one makes
use of the realtion dcx P

dk = Ydepds
X

(20)

then an appropriate k vs. EP curve can be generated (from the same uniaxial monotonic load
test used to obtain the hardening modulus, c) and the general combined kinematic-isotropic
hardening model can be specialized to pure kinematic hardening (y=0), pure isotropic hard-
ening (y=1), or combined kinematic-isotropic hardening with a constant ratio, v, of yield
surface expansion (or contraction) to translation. In either the fully combined or constant
ratio mode, this hardening rule can model the phenomena of cyclic strainhardening or cyclic
strainsoftening, which 1s important 1n many applications.

3. Mechanical Sublayer Model

Duwez [17] in 1935 first proposed using an assembledge of elastic-perfectly plastic
elements to model strainhardening behavior. Such an assembledge is termed a mechanical
sublayer model. Subsequent work on this model occurred in the 1950's with 1nvestigations by
White [18], Prager and Hodge [19], and Besseling [20].

Barr and Young [21] used the sublayer concept to formulate a plane stress material model
with anisotropic strainhardening. Using strain controlled sublayers, initial material ani-
sotropy is accounted for through a generalized Hooke's law. While the sublayer stress
weighting factor or "area" is incorporated directly into the sublayer elasticity matrix, for
an initially isotropic material the model reduces to that used in Refs. [1,19,22,23], a model
which 1s shown herein to be inconsistent for all but uniaxial loading conditions.

Hunsaker et al. [1] compared the stress histories predicted by the mechanical sublayer
model, the Mroz model, isotropic hardening, and Prager-Ziegler kinematic hardening with ex-
periment for a veriety of metals subjected to simple loading histories. The mechanical sub-
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layer model proved superior for uniaxial loading paths involving stress reversals and the ac-
companying Bauschinger effect. The results obtained in that investigation for the biaxial
loading of the mechanical sublayer model must be considered quantitatively in error, as the
method used for determining the sublayer parameters was inconsistent for multiaxial loading.

3.1 Formulation

In the following, the usual assumption is made that the sublayers are strain controlled
meaning that all sublayers experience the same total strain history as the element of ma-
terial being modeled. Further, all sublayers are assumed to have the same matrix of elastic
constants as the material in question, and to behave in an elastic-perfectly plastic fashion.
Finally, while each sublayer will in general have a different stress state at any given time,
the material stress state may be obtained from a superposition of the sublayer stress state
along with weighting factors, also referred to as sublayer areas.

Sij = sij]A1 + S1j2A2 + ot s”nAn (21)

The distinct sublayer yield stresses and stress weighting factors will be determined from a
piecewise linear uniaxial stress-strain curve.

First consider the governing equations for each sublayer. Since perfect plasticity may
be regarded as a special case of combined kinematic-isotropic hardening, from eqs. (16),
(17) and (18), the governing equations for the a sublayer are:

{ds} = [D J{de} (22)

and

S33 S33
o o

] ]
_rn€ S, S S,, S Sae S S5 S .
[Du]—[D J-a 11 712 22 P12, 733, 12u 12,712, symmetric

Si1 812 Sep S s, s Sip Sin Sia'S
(LI EN - R kIR A kR A KT E I (23)

[} [} ] 1 1
S11. 523 S22 523 S33 523 S12523 513 Sp3  Sp3 Sos
o o o o o o o o o o (i

0 if the sublayer 1s elastic

8= 357» 1f the sublayer 1s undergoing plastic deformation

%

]

The matrix [D®] 1s the material elasticity matrix as given in eq (19)
To obtain a material effective modulus, [D], similar to eq. (22),

{ds} = [D]{de} (25)
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then egs., (25), (22) and (21) yield

[0 = Aj[0;T + A,[D,] + ... + A [D ] (26)

Consider now the problem of determining the sublayer properties, A and oy - It is
required that the mechanical sublayer model reproduce the input uniaxia] tens1?e stress-
strain curve (on which it is based) when subjected to the proper strain history. If the
model is to be used solely for one dimensional stress histories, then the approach used in
Refs. [1,19,22,23] is sufficient. In this case, for a piecewise linear stress-strain curve

A o= & ofl i o =E. e (27)
o E.I ‘ya 1 ”a

where 511 are the nodal strain values of the plecewise Tinear uniaxial stress-strain curve
(see Fig. 2) and E is the tangent modulus of the o segment of this curve (E1 is Young's
modulus). The derivation of eq. (27) 1s straightforward and is presented in Refs. [2 and 3].

But suppose, as is usually the case, the aim 1s to use the mechanical sublayer model for
multiaxial loading conditions. Then the approach Just outlined is not valid. For multi-
axial loading applications, the sublayer stress weighting factors and yield stresses must be
obtained by subjecting the strain controlled model to the full three dimensional total
strain history that accompanies the uniaxial stress-strain curve [3]. As an example, this
new method of determining sublayer parameters will be outlined for the case of the piece-
wise curve of Fig. 2 (two strainhardening segments).

First consider the known three dimensional strain history that must accompany the uni-
axial stress-strain curve. Since the material is assumed to be plastically incompressible,
it is easily shown that for any point on the kth linear segment of the piecewise linear
curve,

dS-” = Ekde”
B
deyy = d933 = [+ (v -% E; ] de-l-I (28}

dS22 = dS33 = 0.

Eqs. (28) completely describe the material stress and strain history for the uniaxial stress
Toading.

For the mechanical sublayer model, the change from one tangent modulus to the next in
Fig. 2 represents the transition of the appropriate sublayer from an elastic to a plastic
state. Thus, the first sublayer will yield when the value of 1 reaches 511], or when

(29)

By substituting the stresses corresponding to eq. (29) into the von Mises yield condition
and solving for the sublayer yield stress, it is easily shown that
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cy] = E1e]11. (30)
Sublayer two will yield when €1 reaches €97, OF when
2
AT b A
)
622 = 633 = -VE-”] h [!i +(V = ;i) E_](EHZ - €-|-|_I)' (3])
1
Note, however, that o, # Ejeq; . Rather
Yy 1 112
_r3 ! 2 ! 2 ! 2.1
o, =[5 (537 )+ (S,, )7+ (S, )%}] (32)
Yy 2 112 222 332
where
S [(1-v)eqq + ve,, * veEL,]
112 (1+v) (1-2v) 11 22 33
(33)

So2,” 33, (va(]_z\))[“'")eze *vegy +vel# 0
The determination of oy by noting that the third sublayer yields when 917 1 is Tike-
wise straightforward. 3 3

It is important at this point to realize that the dimension of the material stress state
does not in general coincide with the dimension of the sublayer stress states. For instance,
during the first piecewise linear segment of the uniaxial stress-strain curve, uniaxial
stress exists in both the material and the sublayers. However, for any subsequent segment,
the sublayers will be under a triaxial state of stress even though the material is still in
a state of uniaxial stress.

The sublayer stress weighting factors (A1, A2’ A3) or "areas", are determined from the
following set of algebraic equations:

A] + A, + A3 =1

ds

9p = 0= d522] A1 + d5222 A2 + dS223 A4 for the E, segment (34)

dS22 =0-= dszz] A] + dS222 A2 + d5223 A3 far the E3 segment
(dS22 refers to the dS,, stress increment component of the o sublayer). Or, in matrix

notat$on,
[DTY]{A} = (RHS} (35)

where for the general case of n sublayers (and hence n-1 strainhardening segments in the
piecewise linear stress-strain curve)



L 4/7
Ay = (A, A, A A J
1 "2 Az Ay
T_
(RHS} =1 0 O 0]
1 1 1
2 2 o 2 2
ds,,% ds,,% ds,.2 . ds
22 “oz, 2z, 22,
[DTY] dgs. 3 3 3 3 (36)

ds ds . ds
221 222 223 22n

ds,." ds, " ds,," ds
22, P2z, P22, 22,

and dS‘;2 is the dS22 stress increment component of the o sublayer associated with the Ej
0

segment of the piecewise linear stress-strain curve.
Hunsaker [3] obtained closed form solutions for the case of a two sublayer model. In
this case,

% "%
L. (1-2\;)(52 - E) . 3, - (1 - 2v)E2 _
Y2 2(1+v) " ATFV M1,
E,/E
A, - (%2/F1) -1 (37)

-1+ (1 - 2v)(E2/E])/3

Ay =1 - A.l

As an example, suppose a two element model 1s to be used with
- = = = = 6
v=.3, E, = .5E1. e11] =..001, e]]z .003, and E] 10x10°, (38)

Then the values of the sublayers computed by the traditional method and the procedure just
outlined are:

A1 =.5 A2 =.,5

from eq. (27)
o, = 10000 o, = 30000
4 Y2
A] = ,5357 A2 = .4643

from eq. (37)
o, = 10000 o, = 31538.5

N Y2

For completeness, it should be noted that White [18] used the mechanical sublayer
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model based on a piecewise linear shear stress-strain curve. Since for small strains, pure
torsion results in only one non-zero shear strain, this approach is consistent for multi-
axial loading and a formulation similar to eq. (27) may be used. The resulting model will
still require a special computational procedure, such as the one given in Ref. [3], for the
case of two dimensional plane stress elements. Because of the relative ease of performing
an experimental uniaxial tensile test as opposed to a pure torsion test, and in view of the
wide availability of such tensile data, most researchers will probably prefer to use the
method of determining sublayer parameters from tensile data as just outlined [3].

4. Comparison Study

The nonlinear static analysis of several structures has been conducted using the finite
element program AGGIE I which uses the plasticity models outlined herein. ATl solutions were
obtained on the AMDAHL 470 V/6 digital computer located at the Texas A8M University Data
Processing Center.

The first sample problem involves the large plastic deformation of a simply supported
circular plate composed of high strainhardening 2024-0 aluminum. The plate under consid-
eration 1s centrally loaded by a circular punch of radius .1875 in. to a maximum Toad of 4000
1bs. The dimensions of the plate are given in Fig. 3. The uniaxial material properties for
this plate are given in Ref. {24] along with the plate test data and PLANS theoretical re-
sults. This particular plate is referred to as plate 4A250 in Ref. [24]. The material
uniaxial stress-strain curve was approximated by five linear segments with nodal engineering
stress, strain values as follows: 10,000 psi., .000995; 20,000 psi., .0131; 28,000 psi,
.04502; 36,000 psi, .118; and 48,000 psi, .36311. As the value of Poisson's ratio was not
specified in Ref. [24], a value of .325 was chosen for use in the plate analysis.

Using a 100 1b. load increment, the plate was modeled using eleven, and then twenty-two
8-node isoparametric continuum elements, with the results of both idealizations being the
same indicating a converged solution. The execution times for the combined geometrically and
materially nonlinear problem were 66.06 seconds and 206.83 seconds for the two idealizations.
The predicted deflections of the Tower surface of the plate at radii of 0.0 in. and 1.01 in.
are presented in Fig. 3 along with theoretical and experimental data from Ref. [24].

The PLANS results shown in Fig. 3 were obtained by a finite element idealization of
fourteen annular shell elements and using 5.5 1b. Toad increment. The fact that the annular
elements of PLANS include bending effects but not the effects of transverse shear and normal
stresses, whereas the elements of AGGIE I are pure continuum elements should account for the
majority of the discrepancy between the results of the two codes.

It is noted that, while the theoretical results of both PLANS and AGGIE I were obtained
using kinematic hardening, since the loading 1s monotonically increasing and each point in
the structure will experience a near radial stress loading path, the results are the same as
if either isotropic hardening or the mechanical sublayer model had been used.

The second problem involves the same simply supported circular plate of the preceding
analysis, but subjected to a cyclic loading history of 1325 1b., then -773 1b., and finally
1325 1b. Since the loading is not monotonic, the predicted structural response will depend
on the particular hardening rule used in the analysis. Based on the results of the previous
sample problem, the plate was again modeled using eleven 8-node isoparametric elements.
Since the loading was not severe enough to introduce appreciable geometric nonlinearities,
the analyses were run as materially nonlinear only.
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The structural response preducted by AGGIE I using kinematic hardening (y=0) shown in
Fig. 4 along with experimental data from Ref. [25]. The material constants included a
Poisson's ratio of .325, Young's modulus of 10.05x106 psi, and a piecewise linear uniaxial
stress-strain curve with the following nodal stress, strain values: 8,000 psi, .000796;
12,000 psi, .0025; 18,000 psi, .00925; and 35,000 psi, .10. It is seen that kinematic
hardening provides for a very poor representation of structural response. The reason is as
follows. During the initial loading, a large number of the integration points used in
evaluating the tangent stiffness have accumulated sufficient equivalent uniaxial plastic
strain to put them in regions of very low hardening modulus on the uniaxial stress-strain
curve. When reyielding occurs during the load reversal, the effective modulus, eq. (16),
with the low value of strainhardenind modulus results in a very "soft" tangent stiffness.
For a given applied load increment, the resulting displacement increment is then too large,
as evidenced by the reverse loading behavior shown in Fig. 4. The slight strainhardening
rate predicted by kinematic hardening after a reversal of loading has been shown in Ref. [1]
to be contrary to observed material behavior. The execution time for this analysis was 81
seconds.

The results using AGGIE I and isotropic hardening {y=1) are shown in Fig. 5. Using the
same piecewise linear stress-strain curve as in the kinematic hardening analysis, the exe-
cution time for isotropic hardening was 71.2 seconds. As would be expected, since 1sotropic
hardening predicts a reverse ideal Bauschinger effect [1] the structural response after the
initial Toading of 1325 1b. is predominantly elastic, resulting in poor agreement with the
experimental data.

The results predicted by the mechanical sublayer model are shown in Fig. 6. Using a
different piecewise linear approximation to the uniaxial stress-strain curve (8,000 psi.,
.00796; 16,250 psi, .00575; 25,000 psi, .02925; and 35,000 psi, .100), the execution time
was 81.4 seconds on the AMDAHL 470/V6. Though agreement with experiment is sti1l1 poor,
because the mechanical sublayer model predicts an ideal Bauschinger effect with appreciable
strainhardening after a reversal in loading [1] the predicted structural response is qualit-
atively much more accurate than that predicted by either kinematic or isotropic hardening
for this high strainhardening material.

To provide data for comparison by future researchers, the results of constant ratio
combined kinematic-isotropic hardening are presented in Figs. 7 and 8 for ratio values of
y=.75 and v=.5, respectively. The same piecewise Tinear stress-strain curve used in the
pure kinematic hardening analysis was employed and a compatible yield surface size-equiv-
alent plastic strain curve was generated from eq. (20). The solution obtained for y=0.5 is
in good agreement with the experiment.

Finally, a general combined kinematic-1sotropic hardening solution was obtained by
using the experimental k vs. EP curve shown in Fig. 9. This curve was obtained from an
experimental, uniaxial cyclic reverse load test conducted by Winter [26]. The resulting
load-deflection curve obtained by AGGIE I is shown in Fig. 10. It is seen that the results
based on the experimental k vs. ¥ data (variable ratio) are not quite as good as those
based on a constant ratio vy=0.5. The reason for not getting better results with the experi-
mental data is not known at this time. It may be partly due to the way in which the yield
and reyield points were estimated from the cyclic stress-strain data. In this case, a .2%
offset was used to define the yield and reyield points. A solution based on no offset
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yielded poorer results and one would expect better results if a slightly larger offset were
used to define yield.
5. Conclusions

Based on the sample problems presented and the results of the author's previous work
[1], the following conclusions and recommendations on the use of combined kinematic-isotropic
hardening and the mechanical sublayer model are presented.

1. For monotonic loading such that each point in the structure is subjected to a
stress loading path that 1s nearly radial in deviatoric stress space, as in sample problem
one, kinematic hardening, isotropic hardening, combined kinematic-isotropic hardening, and
the mechanical sublayer model will all predict the same structural behavior. In these
cases pure isotropic hardening is recommended since it should result in slightly lower
execution times as fewer computations are involved.

2. For nonmonotonic loading that does not include a load reversal, isotropic hardening
should be used since it has been shown [1] to best model material behavior under these con-
ditions.

3. For load histories that include a reversal of loading, such as in sample problem
two , the mechanical sublayer model should in most instances be used as 1t correctly pre-
dicts an ideal Bauschinger effect and appreciable strainhardening after reversed loading.

If experimental data is available indicating that combined kinematic-isotropic hardening
will best model the behavior of a particular material or if one is trying to model cyclic
strainhardening or strainsoftening, then combined kinematic-isotropic hardening may be used.

4. In using the mechanical sublayer model for multiaxial stress loading, if the sub-
layer parameters are based on a uniaxlal tensile stress-strain curve the procedure outlined
in this paper for determining the parameters should be used.
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